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In modulus measurement by depth-sensing indentation, previous considerations assume
elastic recovery to be the sole process during unloading, but in reality creep and
thermal drift may also occur, causing serious errors in the measured modulus. In this
work, the problem of indentation on a linear viscoelastic half-space is solved using the
correspondence principle between elasticity and linear viscoelasticity. The correction
term due to creep in the apparent contact compliance is found to be equal to the ratio
of the indenter displacement rate at the end of the load hold to the unloading rate. A
condition for nullifying the effect of thermal drift on modulus measurement is also
proposed. With this condition satisfied, the effect of thermal drift on the calculated
modulus is negligible irrespective of the magnitude of the drift rate.
I. INTRODUCTION
Depth-sensing indentation is rapidly becoming a stan-
dard method for measuring the elastic modulus of mate-
rials.1–6 In the Oliver–Pharr scheme,4 the elastic modulus
of the specimen is estimated from the unloading segment of
the load–displacement curve in which the material is
assumed to undergo purely elastic recovery. However,
even for metals at room temperature, creep effects may
be significant at the peak load. Examples to illustrate this
are shown in Fig. 1, which shows the displacement–time
curves of aluminium and Ni3Al samples during load hold
at the peak load. It can be seen that the indenter displace-
ment continues to increase in both cases, even after a
long hold of 10 min, and that the displacement
ra te appears to se t t le to a s teady value of
approximately 0.02 nm/s in Al and 0.009 nm/s in Ni3Al.
Such a significant creep effect at the peak load may
influence the subsequent unloading behavior, especially
when the unloading rate is slow. In the extreme case of
creep dominating elastic recovery at the onset of unload,
the load–displacement curve may even exhibit a “nose.”
An example of this is shown in Fig. 2 for aluminium.
Figure 2(a) shows load schedules (i) to (iii) for three
similar indentation experiments on the same aluminium
sample. Load schedule (i) has a very rapid unloading
rate, while (ii) and (iii) have a common but slower un-
loading rate. Schedules (i) and (ii) have a short load hold
before unload, while (iii) has a longer load hold. The
unloading curves for the three schedules are shown in
Fig. 2(b). A conspicuous nose can be seen in the unload-
ing curve for (ii). It can be seen that the nose disappears
when the unloading rate is increased [c.f. (i)] or when the
load hold before unload is lengthened [c.f. (iii)].
When a nose appears, the elastic modulus cannot be cal-
culated accurately using the Oliver–Pharr scheme, since
the apparent contact stiffness is now negative. Even
when a nose does not occur, the presence of creep may
load to serious errors in the estimation of the modulus,
unless one corrects for its effect.
In this paper, we present a simple scheme by which we
can correct for the creep effects during modulus meas-
urement. We also derive a condition by which the ef-
fects of thermal drift on the measured modulus can be
nullified.
II. CORRECTION FORMULA FOR CREEP
A. Theory
In the Oliver–Pharr scheme, the reduced modulus Er is
calculated from the contact stiffness S at the onset of
unload as
Er =
=p
2
S
=Ac
, (1)
where Ac is the contact area at full load. The contact area
Ac is calculated from the contact depth hc by assuming a
shape function of the indenter, i.e.,
Ac = f ~hc! ,
hc = hmax - e
Pmax
S ,
(2)
where e is a constant depending on the indenter geometry
(e 4 0.75 for the Berkovich tip). Thus, as can be seen
from Eqs. (1) and (2), an accurate estimate for Er hinges
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on the accurate determination of the elastic contact stiff-
ness S at the onset of unloading. When the specimen
undergoes purely elastic recovery during unloading, the
contact stiffness to be used in Eqs. (1) and (2) would
indeed be the observed (or apparent) contact stiffness
Su at the onset of unload. However, when creep occurs
alongside elastic deformation, we will show below that,
for a load schedule consisting of a load hold followed by
unloading, the S to be used in Eqs. (1) and (2) will no longer
be the same as the apparent Su but is related to it by
1
S =
1
Su
+
h˙h
?P˙?
, (3)
where the second term above is the correction due to
creep and thermal drift. Here, h
.
h is the indenter displace-
ment recorded at the end of the load hold, and P
.
the
unload rate at the onset of unload.
To deal with creep during unload, one has to work
within a viscoelastic framework, although the problem
of pure creep during indentation has been solved.7,8 In
doing so, it may be tempting to assume that the overall
indenter displacement h is the sum of elastic and creep
components and to apply standard spring-dashpot models
to such a system. We however observe that, even in the
linear viscoelastic situation, h does not superpose linearly
in this way. The reason is that h does not only mark the
magnitude of the displacement field but also marks
the size of the contact zone so that, unlike the case of
simple tension where the contact area with the load is
fixed, doubling the material’s compliance, for example,
will not double h proportionately in indentation. Further-
more, during a transient stage, the creep component of
the displacement field will not be self-similar, and hence
individual consideration of it will become difficult.
Therefore, we believe it is necessary to work from first
principles, and this is the aim of this section.
Suppose that the material to be indented is linear vis-
coelastic with stress–strain behavior represented by a
Maxwell spring-dashpot model as shown in Fig. 3. Since,
as far as modulus measurement is concerned, we are
mostly interested in the load hold and unloading seg-
ments of the load schedule, the power-law behavior of
plasticity is ignored. In practice, time-independent plas-
ticity effects can be eliminated in subsequent consider-
ations if the indent shape is introduced beforehand by a
quick load-ramp and unload cycle as shown in the load
schedules in Figs. 1 and 2. The assumption of linearity in
FIG. 1. Displacement–time curve of the load-hold process after cor-
rection of thermal drift in (a) Al, load 4 2918.1 ± 1.5 mN and (b)
Ni3Al(111), load 4 4964.6 ± 2.1 mN. The inset in (a) shows the load
schedule.
FIG. 2. The effect of creep on the unloading curve after correction for
thermal drift in Al.
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the viscoelasticity allows an analytical solution to be
found. Power-law creep may well occur in practice, but
as we will see later, the good agreement with experi-
ments serves as the main justification for adopting the
linear approximation here. The solution can be derived
using the correspondence principle between elasticity
and linear viscoelasticity suggested by Radok,9 which
states that the solution to every purely linear elastic prob-
lem, the Laplace transform of the solution to a corre-
sponding linear viscoelastic problem under identical
boundary conditions and zero initial conditions can be
obtained by simply substituting the elastic constants in
the purely elastic solution by the Laplace transform of the
time differential operators in the viscoelastic problem.
However, as discussed by Lee and Radok,10 the substi-
tution procedure in Radok’s correspondence principle
does not always lead to valid operators in the stress re-
lations, and for the case of indentation, these authors
have shown that the correspondence principle gives valid
viscoelastic solution only when the contact area does not
decrease.10 Ting11 reformulated the viscoelastic indenta-
tion problem and provided solutions for general load
schedules including unload. Ting’s solution agrees with
that by Lee and Radok10 for the case of monotonically
increasing contact area. In what follows, we reproduce
the derivation of the viscoelastic indentation solution fol-
lowing the spirit of Lee and Radok’s and Ting’s work but
cast it in a different form to suit our present purpose.
The stress–strain relationship expressed in terms of the
deviatoric stress Sij 4 sij − dijskk /3 and deviatoric strain
eij = eij − dijekk /3 for a linear elastic material and the
Maxwell viscoelastic material illustrated in Fig. 3 are,
respectively,
eij =
1
2GSij , sii = 3Beii for elasticity, and
e˙ij =
1
2GS
˙
ij +
3e˙o
2so
Sij , sii = 3Beii for viscoelasticity,
or, in terms of Laplace transforms,
eij
*
=
1
2GSij
*
, sii
*
= 3Beii* for elasticity, and (4)
eij
*
= S 12G + 3e˙o2so ? 1sDSij* , sii* = 3Beii* for viscoelasticity.
(5)
Here G and B are the shear and bulk modulus respec-
tively, e. o and so are normalizing material constants, and
( )* is the Laplace transform of a time-dependent quan-
tity ( ).
Thus, by Radok’s correspondence principle, the elastic
constants in the purely elastic problem are to be replaced
by the following in the Laplace transform of the vis-
coelastic problem:
1
G fi
1
G +
3e˙o
so
?
1
s
; B fi B . (6)
The problem of indenting on a purely elastic solid has
been solved by Sneddon.12 In particular, we are inter-
ested in conical indentation as shown in Fig. 4, which
shows a conical indenter with half-angle a being pressed
into an elastic half space by a load P(t) which varies with
time t, making a depression with a contact circle of in-
stantaneous radius a. The Sneddon solution yields
1
Er
P~t! =
p
2 cota a
2 ~t! . (7)
To obtain the corresponding relation in the viscoelastic
case, the reduced modulus Er in Eq. (7) must be trans-
formed. Since Er 4 4G (3B + G)/(3B + 4G), as a result
of Eq. (6), Er is to be transformed by
1
Er
fi
1
Er
+
3e˙o
4so
?
1
s
+
E2e˙o
36B2so
?
1
~s + Ee˙o/so!
, (8)
where E is the Young’s modulus. Therefore the Laplace
transform of the viscoelastic version of Eq. (7) is
H 1Er + 3e˙o4so ? 1s + E
2e˙o
36B2~sos + Ee˙o!
J P* = p2cota ~a2!* .
(9)
FIG. 4. Conical indentation into a half-space.
FIG. 3. Maxwell model for linear viscoelasticity. So is a deviatoric
stress and e the resultant deviatoric strain.
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It can be shown that Eq. (9) agrees with the formulation
given at Ting11 for the case of nondecreasing contact
area. Inverse transforming Eq. (9) leads to
P~t!
Er
+
3e˙o
4so *0
t
P~t8!dt8
+
E2e˙o
36B2so
*0
t
expF - Ee˙o
so
~t - t8!GP~t8!dt8
=
p
2a
2 cota ,
or, upon differentiating with respect to t,
P˙ ~t!
Er
+
3e˙o
4so
P~t!
+
E2e˙o
36B2so
*0
t
expF - Ee˙o
so
~t - t8!GP˙ ~t8!dt8 (10)
= 2ah˙ ,
if P(0) 4 0. In deriving Eq. (10), the purely elastic
result12 of 2a 4 ph tan a is used, and this is legitimate
as this relation does not contain any elastic constant and
so it applies equally well to the viscoelastic situation.
Next, we consider a general load schedule as shown in
Fig. 5 consisting of a brief hold at a maximum load Ph
immediately before unload at time th. We impose the
condition that the load schedule up to the onset of unload
does not decrease the contact size. The formal treatment
by Ting11 shows that the solution at maximum contact
size is continuous. Thus the above results can be applied
up to the onset of unload, and the length of the hold
and the loading schedules, as well as the details of the
subsequent unload schedule do not matter. During the
load hold, P
.
4 0, so that the creep rate towards the end
of the load hold, i.e., at t 4 th−, from Eq. (10) is
2a~th
- !h˙hc =
3e˙o
4so
P~th
- !
+
E2e˙o
36B2so
*0
th
-
expF - Ee˙o
so
~th
-
- t8!GP˙ ~t8!dt8 .
(11)
At the onset of the unloading segment, t = th+ with P
.
< 0,
and Eq. (10) yields
2a~th
+!h˙u =
P˙
Er
+
3e˙o
4so
P~th
+!
+
E2e˙o
36B2so
*0
th
+
expF - Ee˙o
so
~th
+
- t8!GP˙ ~t8!dt8 .
(12)
Since a and P are continuous at the cross-over point
between the load hold and the unload, Eqs. (11) and (12)
may be combined to give the jump in displacement rate
across t 4 th as
h˙u - h˙hc =
P˙
2aEr
. (13)
By noting that h
.
u/P
.
is the contact compliance dh/dP|u at
the onset of unload, Eq. (13) may be rearranged to give
dh
dP?u = 12Era + h
˙
h
c
P˙
, (14)
which is essentially Eq. (3).
In reality, thermal drift may also occur alongside creep
and elastic recovery. Assuming a constant drift rate h
.
t at
around the cross-over point between the load hold and
unload, the overall indenter displacement rate at the onset
of unload from Eq. (13) should now be
h˙u =
P˙
2Era
+ h˙hc + h˙ t =
P˙
2Era
+ h˙h ,
where h
.
h 4 h
.
h
c + h
.
t is the total displacement rate re-
corded at the end of the load hold. Hence, the apparent
contact compliance at the onset of unload is
dh
dP?u = 12Era + h
˙
h
P˙
. (15)
In other words, to correct for both creep and thermal drift
effects in modulus measurement, one needs only to note
the total displacement rate h
.
h at the end of the load hold.
A separate measurement of the thermal drift rate, how-
ever, is still required to calculate the contact area Ac
FIG. 5. General load schedule consisting of a load hold followed by
unloading.
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accurately from Eq. (2). From Eq. (15), a creep factor C
to measure the importance of creep over elasticity can be
defined as
C =
h˙hc S
|P˙ | . (16)
Evidently, a large C is caused by a slow unloading rate
and/or a short load hold so that the creep displacement
rate at the end of the load hold is large.
B. Experimental details
The experiments shown earlier in Figs. 1 and 2 and
later in this section were carried out as follows. Three
materials were used, namely, a single crystal of Ni3Al, a
single crystal of copper, and polycrystalline Al. and The
composition of the Ni3Al single crystal was 75 at.% Ni,
16.7 at.% Al, 8.0, at.% Cr, and 0.3 at.% B. Prior to
nanoindentation, the crystal was homogenized at 1250 °C
for 120 h. The copper single crystal was 99.99% pure and
was annealed for 5 h at 800 °C. The polycrystalling
Al was in the as-cast state with grain size approximately
1 to 2 mm. For both Ni3Al and Cu, (111) surfaces for
indentation were cut by a spark machine followed by
grinding and electropolishing. The Al surfaces were also
electropolished. Indentation experiments were carried
out at room temperature using a Hysitron/Thermomicro-
scopes nanoindenter/atomic force microscope (AFM)
setup with a Berkovich tip.
The load schedules employed were similar to the inset
diagrams in Figs. 1 and 2(a). Typically, the load was
ramped up quickly to the peak value and followed by
rapid unload. This was to initiate the indent shape so that
time-independent plasticity can be made negligible in
subsequent stages. The load was then ramped up again to
the peak value for a load hold, followed by the final
unload from which the contact stiffness S for modulus
calculation was to be measured. Low-load holds at 15%
of the peak load were placed toward the end of the final
unload and sometimes between the cycles to measure the
thermal drift rate. This was to ensure that the thermal
drift rate did not change much during the entire experi-
ment. Results gathered under circumstances when the
thermal drift rate changed a lot during the course of
the experiment were discarded.
C. Results
To calculate the reduced modulus using Eqs. (1–3), the
contact stiffness Su at the onset of unload has to be meas-
ured from the unloading portion of the P-h curve. When
the creep effect is small, the unloading curve can be fitted
accurately with a power law according to Oliver and
Pharr3
P = A~h - h f !m , (17a)
where A, hf, and m are empirical parameters, and m is
usually about 2. However, when creep is significant, a
nose in the P-h curve is about to occur and in this case
Eq. (17a) cannot give a good fit to the onset portion of
the unload curve. Figure 6(a) shows an example of this in
Cu. In this case, the creep factor defined in Eq. (16) is
60%, and so creep is significant. In situations like this,
the following equation was found to give more accurate
fit to the onset portion of the unload curve:
h = ho + A1 Pm + A2 Pn , (17b)
where ho, A1, A2, m, and n are fitting constants, and m is
about 0.5. Figure 6(b) shows that Eq. (17b) gives a much
better fit to the onset portion for the same data as in
Fig. 6(a). Note that in this case, the value of Su fitted by
Eq. (17b) is 3454 mN/nm, but if Eq. (17a) is used, Su will
be underestimated to be only 706 mN/nm.
Figure 7 shows the modulus data measured from three
metallic materials plotted against the creep factor defined
in Eq. (16). In Eq. (16), h.ch is the creep part of h
.
h and
is obtained by subtracting the thermal drift rate from
FIG. 6. Fitting of unloading curve for Cu with large creep effects
using (a) Eq. (17a) and (b) Eq. (17b). In (a) the fit is poor near the
maximum load. Unloading rate 4 12.47 mN/s creep factor C 4
60.3%.
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the latter. The h
.
h is obtained by fitting the load-hold
displacement–time curve like those shown in Fig. 1 by
the following empirical law:
h~t! = hi + b~t - ti!1/3 + Kt ,
where hi, b, ti, and K are fitting constants. This relation
is found to produce very good fits to most of our results.
The modulus results shown in Fig. 7, whether corrected
for creep or not, have all been corrected for thermal drift
and machine compliance. It can be seen from Fig. 7 that
for all three materials studied, the modulus calculated
without considering creep increases as the creep factor C
increases. The apparent modulus for Al and Cu is dra-
matically large (over 2000 GPa) when the creep factor is
larger than about 1.4. In Fig. 7 are also shown the modu-
lus values calculated from Eqs. (1) and (2) using the
S values corrected by Eq. (3). It can be seen that
the value of the calculated modulus tends towards a
constant value after the effect of creep is corrected for by
Eq. (3). The corrected modulus is 72.3 ± 7.5 GPa for Al,
116.9 ± 11.1 GPa for Cu, and 189.9 ± 11.9 GPa for
Ni3Al. The theoretical values of the reduced modulus
calculated using the method of Vlassak and Nix13 are
74.8 GPa for polycrystalline Al, 125.9 GPa for Cu(111)
and 201.9 GPa for Ni3Al(111), and these all fall within
the range of the measured values.
III. NULL EFFECT OF THERMAL DRIFT
A. Theory
In this section, we will look at a condition by which
the effects of thermal drift on modulus measurement will
become negligible. Such a condition is obtained by ana-
lyzing the various errors leading to the calculation of
modulus. First, let us assume for simplicity the indenter
shape function in Eq. (2) to be parabolic, i.e., Ac ~ hc2.
This assumption is valid when the indenter shape is py-
ramidal and when the penetration is deep enough that the
blunted portion of the indenter tip has negligible effects.
Under such a condition, from Eq. (3), we have
DEr
Er
=
DS
S -
Dhc
hc
, (18)
where DEr /Er, DS/S, and Dhc /hc are the fractional errors
of the corresponding quantities. Furthermore, from
Eq. (3),
DS
S =
- D~1/S!
1/S = SS h˙h|P˙ |D = S ~h˙h
c + h˙ht !
|P˙ | , (19)
when machine errors are negligible. According to
Eq. (2), if the thermal drift rate is assumed to be a con-
stant h
.
t during the entire course of the experiment, we
have
Dhc = h˙ t th + ePmax
h˙hc + h˙ t
|P˙ |
= h˙t~th + etu! + ePmax
h˙hc
|P˙ | . (20)
Here, th is the duration of the test from the start to the
onset of the unload (see Fig. 5), and tu is the duration of
the unload period alone. From Eqs. (18), (19), and (20),
we obtain
DEr
Er
=
h˙hc
|P˙ | SS - e Pmaxhc D + h
˙
t
|P˙ | SS - th + etuhc |P˙ |D ,
FIG. 7. The modulus-creep factor curve for (a) Al, (b) Cu(111), and
(c) Ni3Al(111).
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but in general, th is much larger than tu, and, for ductile
materials, S is much larger than ePmax/hc, so that this can
be simplified into
DEr
Er
»
h˙hc
|P˙ | S +
h˙t
|P˙ | SS - thhc |P˙ |D
= C +
h˙tS
|P˙ | S1 - th |P˙ |hcS D , (21)
where C is the creep factor defined in Eq. (16). There-
fore, to minimize the error of modulus due to creep and
thermal drift, we can use the following two conditions:
C , 10%, or |P˙ | . 10h˙hcS , and (22)
th »
S
|P˙ | hc . (23)
The first condition serves to keep the creep effect small,
while the second condition minimizes the thermal drift
effect.
B. Comparison with experiments
To illustrate the validity of Eq. (23), experiments on
Al and Ni3Al(111) were performed using the load sched-
ules shown in Fig. 8. The aim of the experiments was to
investigate the influence of thermal drift on the measured
modulus in the light of Eq. (21). Therefore, it is neces-
sary to vary the factor th |P
. |/hcS while, if possible, all
other parameters are kept constant. It is therefore desir-
able to vary |P. | on the same indent, and so the load
schedules of Fig. 8 were used, which consisted of firstly
a cycle of rapid load ramp and unload to initiate the
indent plasticity, and then a series of ramp-hold-unload
cycles with different unloading rates. As before, low-
load holds at 15% of the peak load were placed in be-
tween cycles and at the end to monitor the actual thermal
drift in the course of the experiment. Before the experi-
ment, the machine was allowed to stabilize in a closed
room without ventilation for several hours and in this
way, the actual thermal drift rate was found to be quite
steady during the subsequent experiment. The thermal
drift (4 drift rate × time) was subtracted from the re-
corded displacement data to obtain a load–displacement
curve free from thermal drift effects. This is termed the
“standard” load–displacement curve for the purpose of
later reference. Then artificial drift rates were superim-
posed onto the displacement data in the standard curve to
stimulate the effects of repeating the experiment at dif-
ferent thermal drift rates. The reason for doing this in-
stead of actually repeating the experiment at different
drift rates is that, with our setup, it is very difficult to
control the drift rate at an arbitrary constant value during
the entire duration of the experiment.
From the results obtained, the C factors calculated for
the six labeled cycles in Fig. 8 were reasonably small,
implying that creep is insignificant. The key experimen-
tal data for these cycles are listed in Table I. The moduli
calculated from the standard load–displacement curves
using the Oliver–Pharr scheme are shown as Er(h
.
t 4 0)
in Fig. 9. These are reasonably consistent with one an-
other and with the theoretical values calculated using the
method by Vlassak and Nix.13 Also shown in Fig. 9 are
the apparent moduli calculated using the Oliver–Pharr
scheme after thermal drifts corresponding to an artificial h
.
t
were superimposed onto the standard load–displacement
curves for different cycles. As discussed above, these
represent “virtual” experimental results at various values
of h
.
t
. The apparent modulus that would have been meas-
ured under a general thermal drift rate of h
.
t and with
negligible creep may also be calculated from Eq. (21) as
Er~h˙t! = Er ~h˙t = 0!
2 F1 + h˙t|P˙ | SS - thhc |P˙ |DG , (24)
FIG. 8. Load schedule for the investigation of thermal drift effects in
Ni3Al(111).
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where Er (h
.
t 4 0) is the modulus calculated from the
standard load–displacement curve using the Oliver–Pharr
scheme. The variations of the apparent modulus with h
.
t
obtained this way for different cycles are also shown in
Fig. 9. the abscissa scale selected in Fig. 9 is ±0.1 nm/s
and this well covers the usual thermal drifts encountered
in our machine. It can be seen that the prediction of Eq. (24)
agrees reasonably well with the “virtual” experimental
results. More importantly, the apparent modulus for
cycle 2 for both Al and Ni3Al stays more or less constant
at the value Er (h
.
t 4 0) when h. t varies within ±0.1 nm/s,
while that for cycles 1 and 3 changes remarkably with h
.
t
.
This implies that the calculated modulus for cycle 2
would be least sensitive to thermal drift. The reason is that,
as shown in the table, the th and P
.
selected for cycle 2
are such that the factor (1 − th|P
. |/hcS) is closest to zero
amongst the three cycles for both Al and Ni3Al. This
helps to verify the condition for minimal effect of ther-
mal drift as given in Eq. (23).
IV. DISCUSSION
It is interesting to note from Fig. 7 that indentation
creep effect is significant at room temperature even for a
moderately high melting metal like Cu or Ni3Al. We
attribute this to the high local values of the hydrostatic
stress, which makes dislocation climb very easy. After
the indenter is rapidly pressed into the specimen, the
instant plasticity occurs in such a way that the shear
stresses due to the applied load are more or less balanced
by the intrinsic Peierls stress plus resistance due to work
hardening. The hydrostatic component of the stress state,
however, may exceed well beyond the elastic limit, al-
though it attenuates in the far field. The very first layer of
material in contact with the indenter may be subject to
hydrostatic stresses on the order of the measured hard-
ness, and this is typically a few times the yield stress.
Under such high hydrostatic stresses, dislocation climb
may take place very effectively, even though the test
temperature is a relatively small fraction of the melt-
ing temperature. As an illustration, the measured hard-
ness of Cu in the nanoindentation range may exceed
1 GPa. When multiplied to the atomic volume, such a
high value of hydrostatic stress will reduce the activation
energy for dislocation climb by a fraction of an eV,
which is similar in magnitude to the activation energy for
pipe diffusion in Cu. The result is that the local work-
hardening dislocation structure may relax at a significant
speed with time, causing the hardness to fall.
In deriving Eq. (14), the assumption of linear vis-
coelasticity was used. The question therefore is whether
the result will be modified a lot if the viscoelasticity is
power-law instead of linear. This is difficult to estimate
without a full solution to the power-law problem, which
can only be obtained by numerical means. However, the
Table I. Experimental data for the load cycles in Fig. 8.
C
(%)
th
(s)
|P. |
(mN/s)
S
(mN/nm)
hc
(nm) 1 -
th|P˙ |
Shc
Al cycle 1 22.14 293 50 267.1 463.4 0.881639
Al cycle 2 5.55 577 170 261.2 491.5 0.235939
Al cycle 3 1.92 1,507 400 286.1 540.1 −2.90105
Ni3Al cycle 1 8.72 233.5 100 283.2 239.8 0.656169
Ni3Al cycle 2 3.05 421.5 200 278.8 245.3 −0.23264
Ni3Al cycle 3 1.98 875.5 400 271.6 241.1 −4.34797
FIG. 9. Apparent reduced modulus versus thermal drift rate for (a) Al
and (b) Ni3Al(111).
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main idea behind Eq. (14) is that the influence of creep
on the contact stiffness S increases with h
.
c
h and decreases
with |P. |. This is in agreement with the experimental ob-
servation in Fig. 2. Equation (3) or (15) in fact indicates
that the overall contact stiffness during unload is larger
than what elasticity alone would produce. Hence, if the
creep contribution is ignored, the modulus calculated
from Eq. (1) would be an overestimate, and indeed, if the
creep factor C in Eq. (16) is not small compared with
unity, the overestimation could be very severe. The re-
sults in Fig. 7 confirm this. When C is large enough, the
apparent contact stiffness will become negative, i.e., a
“nose” will occur in the unloading segment in the load-
displacement curve. The power-law fit of the P-h curve
in the Oliver–Pharr scheme obviously cannot conform to
a negative slope at the onset of the unload, but this has a
fortuitous “correction” effect on the measured modulus
since the erroneous negative contact stiffness is now re-
placed by a positive value. This correction, however, is
not very effective at large values of C as Fig. 7 shows.
We established in Eq. (23) a condition such that, if
satisfied, the measured modulus would be relatively free
from thermal drift effects, and hence correction of ther-
mal drifts on the displacement data would become un-
necessary. This condition works on the premise that the
modulus is proportional to S and inversely proportional
to hc, and that the effects of thermal drift on S and hc
are of the same sign as shown in Eqs. (19) and (20). The
significance, however, is that if Eq. (23) is satisfied,
the influence of thermal drift on S and hc would cancel
one another irrespective of the magnitude of the drift rate
as long as it is small. Thus the effect of thermal drift on
modulus measurement can be nullified without knowl-
edge of the drift rate or the need to do any correction.
Therefore, if it is certain that creep effects can be ignored
(e.g., when a very rapid unloading rate is used), then
there is no need to record the drift rate if the hold time
is selected according to Eq. (23). If the effect of creep is
uncertain, however, then it would be necessary to meas-
ure the thermal drift rate. This is because to check
whether Eq. (22) is satisfied or to calculate C if it is not
satisfied, one would still need to know h
.
c
h , which can
only be obtained by subtracting the thermal drift compo-
nent from the overall observable h
.
h .
In terms of practicalities, Eq. (23) suggests that for a
fixed material, a short th will have to be used if a large|P. | is used, but if a short th is used, h
.
c
h may be too
large to fulfill Eq. (22). There may, therefore, be a com-
patibility problem between the two conditions. Fortu-
nately, the th in Eq. (23) is also proportional to the
contact depth, which can be increased by using a larger
peak load. In any case, this potential problem of incom-
patibility did not arise in our experiments on Al and
Ni3Al. Finally, to use Eq. (23) to select th, one would
need to know the contact depth and the unloading contact
stiffness beforehand. A trial run is therefore required to
estimate the values of these two parameters.
V. CONCLUSIONS
We have shown that, in a linear Maxwell solid, the
effect of creep on the apparent contact compliance at
the onset of unload can be worked out in a simple way
from the indenter displacement rate during the end of
the load hold and the unloading speed. Incorporating
this correction term into the elastic modulus calcula-
tion greatly improves the accuracy of the estimated
modulus, especially when the creep effects are large. A
condition for null effect of thermal drift has also been
identified so that, if it is satisfied, thermal drift, irrespec-
tive of its magnitude, has minimal effects on the meas-
ured modulus.
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